Fire performance and design of cold-formed steel wall systems by Gunalan, Shanmuganathan et al.
This is the author’s version of a work that was submitted/accepted for pub-
lication in the following source:
Gunalan, Shanmuganathan, Ariyanayagam, Anthony, & Mahendran, Ma-
hen (2013) Fire performance and design of cold-formed steel wall systems.
In 4th International Conference on Structural Engineering and Construc-
tion Management, 13 - 15 December 2013, Earl’s Regency Hotel, Kandy,
Sri Lanka.
This file was downloaded from: http://eprints.qut.edu.au/76347/
c© Copyright 2013 Please consult the authors
Notice: Changes introduced as a result of publishing processes such as
copy-editing and formatting may not be reflected in this document. For a
definitive version of this work, please refer to the published source:
FIRE PERFORMANCE AND DESIGN OF COLD-FORMED STEEL WALL SYSTEMS 
 
Abstract 
 
Traditionally, the fire resistance rating of Light gauge steel frame (LSF) wall systems is based on 
approximate prescriptive methods developed using limited fire tests. These fire tests are conducted using 
standard fire time-temperature curve given in ISO 834. However, in recent times fire has become a major 
disaster in buildings due to the increase in fire loads as a result of modern furniture and lightweight 
construction, which make use of thermoplastics materials, synthetic foams and fabrics. Therefore a detailed 
research study into the performance of load bearing LSF wall systems under both standard and realistic 
design fires on one side was undertaken to develop improved fire design rules.  
This study included both full scale fire tests and numerical studies of eight different LSF wall systems 
conducted for both the standard fire curve and the recently developed realistic design fire curves. The use of 
previous fire design rules developed for LSF walls subjected to non-uniform elevated temperature 
distributions based on AISI design manual and Eurocode 3 Parts 1.2 and 1.3 was investigated first. New 
simplified fire design rules based on AS/NZS 4600, North American Specification and Eurocode 3 Part 1.3 
were then proposed with suitable allowances for the interaction effects of compression and bending actions. 
The importance of considering thermal bowing, magnified thermal bowing and neutral axis shift in the fire 
design was also investigated and their effects were included. A spread sheet based design tool was 
developed based on the new design rules to predict the failure load ratio versus time and temperature curves 
for varying LSF wall configurations. The accuracy of the proposed design rules was verified using the fire 
test and finite element analysis results for various wall configurations, steel grades, thicknesses and load 
ratios under both standard and realistic design fire conditions. A simplified method was also proposed to 
predict the fire resistance rating of LSF walls based on two sets of equations developed for the load ratio-hot 
flange temperature and the time-temperature relationships. This paper presents the details of this study on 
LSF wall systems under fire conditions and the results.  
 
Keywords: Fire resistance rating, Light gauge steel frame wall systems, Standard fires, Realistic 
design fires, Fire tests, Finite element analyses, Fire design rules. 
1.0 Introduction 
 
In recent times, light gauge steel framed (LSF) structures, such as cold-formed steel wall systems, are 
increasingly used in the building construction industry without a full understanding of their fire 
performance. Cold-formed steel wall systems are made of thin-walled lipped channel section studs 
and lined with gypsum plasterboards with and without insulations. These thin-walled steel studs are 
subjected to axial compression loads, and are protected by plasterboard linings during fire events. 
These linings not only delay the rapid temperature rise in steel studs but also provide lateral restraints 
to them. Since LSF walls are usually exposed to fire attack from one side, the studs are subjected to 
highly non-uniform elevated temperature distributions during fire events. Such non-uniform 
temperature distributions induce complicated structural behaviour of studs involving thermal bowing 
and magnification effects, non-uniform distribution of strength and stiffness of steel across the cross-
section and neutral axis shift. These effects cause the thin-walled studs to be subjected to combined 
axial compression and bending actions during fire events. They compound the already complex 
structural behaviour of thin-walled steel studs involving local and global buckling effects as 
influenced by the levels of support provided by plasterboard linings during fires. 
Fire resistance of these thin-walled steel studs has been traditionally determined using standard fire 
tests specified in ISO 834 (ISO, 1999). Fire Resistance Rating (FRR) from these tests should be 
sufficient in a fire event, for safe evacuation, fire service intervention and for rescue activities. The 
fire time-temperature curve should cover most of the potential fires in buildings. However, the present 
standard fire time-temperature curve in ISO 834 may not meet this requirement as it was developed in 
the early 1900s, where wood was the basic fuel source. Recent research has also shown that the actual 
FRR of building elements exposed to real building fires is significantly less than that obtained from 
standard fire tests (Nyman, 2002, Lennon and More, 2003 and Abecassis-Empis et al., 2008). 
Design of load bearing LSF wall systems under fire conditions is based on approximate prescriptive 
methods developed based on limited fire tests. Hence suitable fire design rules were developed for 
LSF walls subjected to non-uniform temperature distributions by many researchers (Klippstein, 1980, 
Gerlich et al., 1996, Ranby, 1999, Alfawakhiri, 2001, Kaitila, 2002, Feng and Wang, 2005, Zhao, 
2005). Klippstein (1980) and Gerlich et al. (1996) developed them based on the AISI design manual 
while Eurocode 3 was used by others. However, these fire design rules were found to be either 
inaccurate at times or very complex and hence may not be used in routine fire design of LSF walls. 
Therefore a detailed research study into the fire performance of LSF wall systems was undertaken to 
develop improved fire design rules using the results from a series of full scale fire tests and extensive 
numerical studies.  
Fire testing using the standard fire time-temperature curve will give good comparative results for 
building systems tested under identical conditions, and also valuable basic data. However, these 
results do not provide accurate FRR for modern residential and commercial buildings. In a building 
fire, the fire growth, fully developed and decay phases depend on aspects such as fuel load, ventilation 
openings and thermal properties of compartment lining materials. Appropriate values were selected to 
represent the modern building fire scenarios, and realistic design fire time-temperature curves were 
developed in this study. This paper presents the details of the development of such realistic design fire 
curves. It then describes sixteen load bearing full scale fire tests made of eight different LSF wall 
configurations including a new composite panel (see Figure 1) conducted for both standard fire and 
realistic design fire curves. Numerical studies were then undertaken using suitable LSF wall stud 
models. The developed finite element models were validated by comparing their results with fire test 
results. The validated model was then used in a detailed numerical study into the axial compression 
strength of lipped channel studs used in both the conventional and the new composite panel systems 
to increase the understanding of their behaviour under non-uniform elevated temperature conditions 
and to develop accurate fire design rules. This paper uses the extensive fire performance results of 
eight different LSF wall systems from fire tests and numerical studies to investigate the previous fire 
design rules for LSF walls subjected to non-uniform elevated temperatures under standard and 
realistic design fires, and proposes new fire design methods based on ambient temperature cold-
formed steel design codes, AS/NZS 4600 (SA, 2005), North American Specification (AISI, 2007) and 
Eurocode 3 Part 1.3 (ECS, 2006). A spread sheet based design tool was also developed based on the 
new design rules to predict the failure load ratio versus time and temperature curves for varying LSF 
wall configurations shown in Table 1. The finite element analysis based parametric study was also 
used to investigate the effects of various parameters such as steel grade, steel thickness, screw 
spacing, plasterboard restraint, various insulation materials and load ratios. Finally, a simple design 
method was proposed based on these results to predict the fire resistance rating of LSF wall panels 
with varying wall configurations (single and double layers of plasterboards, cavity and externally 
insulated) and structural parameters (steel grade and thickness) under varying load ratios. 
(a) Single layer of Pb         (b) Double layer of Pb      (c) Cavity insulation        (d) External insulation  
             (Composite Panel)        
Note: Pb – Plasterboard; Insulation – Rock fibre, Glass fibre and Cellulose fibre 
Figure 1: LSF wall configurations 
 
2.0 Standard and Realistic Design Fires 
 
The fundamental objective when designing for fire safety is to ensure that the fire resistance of an 
element is greater than the severity of the fire to which that building element can be exposed in its life 
span. The fire severity is a measure of the destructive impact of a fire in relation to temperature or 
time, which could cause failure or collapse. The empirical fire time-temperature curve given in ISO 
834 (ISO, 1999) was developed using the data from fires in buildings about 100 years ago. This may 
not reflect the characteristics of a fire in a modern building. Also the buildings constructed at the time 
the empirical curve was developed were typically heavy timber construction compared to the modern 
buildings with a higher level of usage of thermoplastic materials, synthetic foams and fabrics. The 
increasing use of thermoplastic materials is clearly evident with the introduction of computers, fabric 
coated drywall systems and upholstered furniture in the modern commercial and residential buildings. 
Some of these thermoplastic polymers soften between 65oC and 200oC, and increase both the speed of 
fire growth and peak heat release rate, thus increasing the fire severity considerably.  
A typical building fire starts in a single compartment and the severity of a fire or the time-temperature 
curve of a typical fire depends on the usage of the compartment, fire load present, and the sizes of 
openings and compartment. These parameters vary from compartment to compartment and have to be 
characterized to determine the appropriate realistic building fire. Several equations and computer 
models have been developed by researchers to predict the fire behaviour. They are two types: pre-
flashover and post-flashover fire models. The post-flashover fire scenario models focuses in the 
analysis and design of building fire safety systems and pre-flashover fires involves fire spread around 
the building and toxic gas production. The literature on post-flashover time-temperature curves shows 
that it is very difficult to envisage the time-temperature curve of a fire in a compartment. The review 
of post-flashover fires identified that three basic parameters define the time-temperature curve in a 
compartment, namely, Fuel load, Ventilation and Thermal properties of lining materials. Also it is 
clear that a standard fire curve (ISO, 1999) to suit the real building fires is unrealistic and the fires 
have to be based on the above three parameters. Hence considering their accuracy to real building 
fires and to develop realistic time-temperature curves, Eurocode parametric curve (ECS, 2002) and 
Barnett’s (2002) ‘BFD’ curve fire profiles were selected in this study.  
Eurocode 1 Part 1.2 (ECS, 2002) prescribes a simple mathematical time-temperature relationship for 
‘Parametric’ fire curves by including the above mentioned parameters for both heating and cooling 
phases. On the other hand Barnett’s ‘BFD’ curve is much closer to the real fire time-temperature 
distribution and uses a single log-normal equation to represent both heating and cooling phases. 
Barnett (2002) states that ‘BFD’ curves have been developed using curve fitting to 142 natural fire 
tests with a range of fuels and different enclosure materials. The ‘BFD’ curve takes the shape of the 
natural fire curve and closely agrees with the actual fire test results than other models. Hence in order 
to study the behaviour under natural decay phase of a fire, Barnett’s ‘BFD’ curve is also considered. 
As mentioned above, design fire curves are determined based on three parameters, namely; fuel load, 
ventilation openings and thermal properties of wall lining materials. Fuel loads in residential buildings 
depend on the geographic location, home construction and furnishing styles. Also they vary within a 
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building depending on the room usage. The changes in the fashion trends and materials used for 
furnishing have resulted in significant differences in the composition of fuel load densities in modern 
buildings. However for design purposes it is obvious to select the worst case fire scenario, which 
reflects the actual fire profile in a modern building. Therefore an average value of 780 MJ/m2 was 
selected from Eurocode 1 Part 1.2 (ECS, 2002), which is very close to Bwalya et al.’s (2008) recent 
fire load survey results (807 MJ/m2) obtained for Canadian residential buildings. Hence based on this 
the design fuel load density was determined as 1268 MJ/m2 by incorporating the design actions. To 
account for different fire scenarios, two opening factors, 0.08 and 0.03 m1/2 were chosen to represent a 
rapid fire and a long-drawn-out fire, respectively. The boundary of enclosure materials for this 
research was chosen to be light steel frame partition walls and ceiling, and concrete floor slab to 
represent a typical single storey residential dwelling. The corresponding thermal inertia values for the 
compartment were then determined. Using these parameters, a set of realistic design fire curves was 
developed based on both Eurocode parametric and Barnett’s ‘BFD’ fire curves. Figure 2 shows the 
fire parameter values used in deriving these curves, and the resulting realistic fire time-temperature 
curves (both rapid and prolonged). As seen in Figure 2, unlike the standard fire curve, the realistic 
design fire curves include both fire development and decay phases as seen in real building fires. 
Details of the development of these realistic design fire curves are given in Ariyanayagam (2013). 
 
 
 
 
Figure 2: Standard and realistic design fire time-temperature curves used in tests 
 
3.0 Experimental Study 
 
Fire tests of LSF walls were conducted to evaluate the fire performance of load bearing LSF walls. 
One wall specimen was tested to failure under an axial compression load at room temperature while 
sixteen wall specimens subjected to a constant axial compression load were exposed to standard and 
realistic design fire conditions on one side. Conventional LSF wall assemblies lined with single or 
double layers of plasterboard with or without cavity insulation were considered (see Figure 1). The 
proposed new LSF wall system based on a composite panel was also considered, in which the 
insulation was placed externally between the two plasterboards (Gunalan et al., 2013a). The 
insulations used were glass fibre, rock fibre and cellulose fibres. The steel frames were built to a 
height of 2400 mm and a width of 2400 mm. The studs and tracks of the test frames were fabricated 
from G500 steel sheets with a nominal base metal thickness of 1.15 mm. The measured yield strength 
and elastic modulus of steel were 569 MPa and 213,520 MPa, respectively, at ambient temperature. 
Test frames were lined on both sides by single or double layers of 16 mm gypsum plasterboards. 
Table 1 shows the details of wall specimens with eight wall configurations used in this research.  
The furnace was designed to deliver heat based on the fire curve and the loading frame was specially 
designed to load the individual studs of LSF wall specimens in compression from the bottom side 
using jacks (Figure 3(a)). The axial shortenings of the studs and the out-of-plane movements of the 
wall specimen were measured using LVDTS while K-Type thermocouples were used to measure the 
temperature development across the wall specimens during the fire tests. 
Fire Curves EU2 and BFD2 
 Fuel load – 1268 MJ/m2 
 Opening Factor – 0.03 m1/2  
 Thermal Inertia – 702 J/m2S1/2K 
Fire Curves EU1 and BFD1 
 Fuel load – 1268 MJ/m2 
 Opening Factor – 0.08 m1/2  
 Thermal Inertia – 715 J/m2S1/2K 
Fire Curves EU3 and BFD3 
 Fuel load – 1268 MJ/m2 
 Opening Factor – 0.03 m1/2  
 Thermal Inertia – 585 J/m2S1/2K 
Standard Fire ISO (1999) 
BFD2 (0.03) 
BFD1 (0.08) 
EU2 (0.03) EU1 (0.08) 
BFD3 (0.03) 
EU3 (0.03) 
Table 1: Details of test specimen configurations and stud failure times  
Test 
No 
LSF 
Configuration 
Insulation 
Type 
Load 
Ratio Fire Curve 
Experimental 
Failure Time  
FEA 
Failure 
Time  
K1 Single layer of 
Plasterboard         
- 0.2 ISO (1999) 53 mins 53 mins 
A1 - 0.2 EU1 (0.08) 28 mins 27 mins 
A2 - 0.2 BFD1 (0.08) 39 mins  42 mins 
K2 Double layer of 
Plasterboard            
- 0.2 ISO (1999) 111 mins 115 mins 
A3 - 0.2 EU2(0.03) No Failure No Failure 
A4 - 0.2 BFD2 (0.03) 139 mins  134 mins 
K3 Cavity Insulation           Glass fibre 0.2 ISO (1999) 101 mins 100 mins 
K4 Rock fibre 0.2 ISO (1999) 107 mins 105 mins 
K5 Cellulose fibre 0.2 ISO (1999) 110 mins 109 mins 
K6  External 
Insulation  
(Composite panel) 
Rock fibre 0.2 ISO (1999) 136# mins 154 mins 
K7 Cellulose fibre 0.2 ISO (1999) 124 mins 129 mins 
G1 Glass fibre 0.2 ISO (1999) 118 mins 115 mins 
G2 Glass fibre 0.4 ISO (1999) 108 mins 110 mins 
G3 Rock fibre 0.4 ISO (1999) 134 mins 131 mins 
A5 Rock fibre 0.4 EU3 (0.03) 120 mins 117 mins 
A6 Rock fibre 0.4 BFD3 (0.03) 118 mins 120 mins 
Note: Tests K1-K7* and G1-G3 conducted by Gunalan et al. (2013a); Tests A1–A6: conducted by Ariyanayagam (2013); ( # 
) - Earlier Failure Time due to lack of space for thermal expansion; ISO (1999) Curve – Standard fire curve; EU – Eurocode 
parametric fire curve; BFD – Barnett’s ‘BFD’ Fire Curve (Barnett, 2002). 
 
In each fire test an axial compression load of 15 kN (load ratio=0.2) or 30 kN (load ratio=0.4) was 
applied to each stud, ie. 0.2 or 0.4 times the test ultimate capacity of 79 kN of each stud at ambient 
temperature. The load was held constant at room temperature before the furnace was started and then 
maintained throughout the fire test. During the fire test, the furnace temperature was regulated to 
follow the specified time-temperature curve. The test was stopped immediately after one or more of 
the wall studs failed, and the time to failure (FRR) was recorded. Figure 3(b) shows the LSF wall 
panel and the studs after failure while their failure times are shown in Table 1. The wall panel failure 
was similar in both standard and realistic design fires, with the main difference being in their failure 
times. The stud failures occurred when the stud reached the appropriate critical hot flange temperature 
depending on the availability of lateral restraint provided by plasterboards. The presence of 
plasterboard lining significantly influenced the failure times of single plasterboard lined walls as the 
plasterboard fall-off exposed the studs to higher temperatures while losing lateral restraints. When 
different realistic design fire curves were used in tests, the studs followed the shape of the time-
temperature curve initially, and after plasterboard calcination and fall-off, the stud temperatures 
increased rapidly and failed when the critical hot flange temperature was reached. The parameters that 
affected the fire behaviour and failure time were: wall configuration, load ratio, lateral restraints, and 
stud hot flange temperature. The ambient surface of wall specimens recorded values well below the 
insulation failure temperature throughout the tests and the wall specimen failure was due to the 
structural failure of the studs in all the tests. Figures 4 (a) and (b) show the average time-temperature 
profiles of the plasterboard and steel surfaces of Test G1. Further details about the experimental study 
and test results are given in Gunalan et al. (2013a) and Ariyanayagam (2013). 
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(a)  Fire test set-up     (b) LSF wall after the fire test  
Figure 3: Fire test set-up and test specimen after fire test 
 
 
(a) Plasterboard surface temperatures                   (b) Stud temperatures  
    Figure 4: Experimental time-temperature profiles – Test G1 
(a) Double layer of plasterboard Tests K2, A3 and A4  (b) External insulation Tests G3, A5 and A6  
    Figure 5: Stud hot flange time-temperature curves 
 
3.1. LSF Wall Panel Behaviour – Double Plasterboard Lined LSF Wall Fire Tests K2, A3 & A4     
 
Realistic fire Test Specimen A4 failed when the hot flange temperatures reached 645oC, ie. similar to 
Kolarkar’s (2010) standard fire Test K2 (663oC). Kolarkar’s test failed by flexural buckling about the 
minor axis due to plasterboard fall-off whereas Test A4 failed by flexural buckling about the major 
axis in Studs 1 and 2 with some local buckling. Test specimen A3 did not fail. As seen in Figure 5(a), 
Test A3 stud hot flange temperature reached only 497oC after 140 mins in the decay phase. The stud 
hot flange temperatures gradually increased for nearly 35 mins even during the decay phase. Hence 
this implies that studs can fail in the decay phase if they reach the critical hot flange temperature. 
 
3.2. LSF Wall Panel Behaviour – Externally Insulated LSF Wall Fire Tests G3, A5 & A6     
 
The stud time-temperature curves for the externally insulated are shown in Figure 5(b). The stud 
temperature curves followed the furnace fire curve until failure. In Test A6 a rapid temperature rise 
was recorded in hot and cold flanges due to the plasterboard fall-off near Stud 1. Stud temperatures 
were low in Test A6, compared to Test A5 and standard fire Test G3. The stud hot flange temperature 
in Test A6 was 452oC while it was 571 and 556oC, respectively, in Test A5 and Gunalan’s standard 
fire Test G3. This clearly indicates that the loss of lateral stability and exposure to higher furnace 
temperatures caused the studs to fail at lower temperatures. Hence it can be concluded that if similar 
conditions exist, i.e. restraints and applied loads are similar, the stud failure depends on its maximum 
hot flange temperature. 
 
4.0 Finite Element Analyses 
 
A finite element model of LSF wall studs was developed with appropriate thermal and structural 
boundary conditions to simulate their behaviour under fire conditions and to determine the FRR. 
Finite element analyses were conducted under steady state conditions. Here the non-uniform 
temperature distributions in the steel cross-section were raised to the measured temperatures of hot 
and cold flanges and web elements at a given time as measured during the standard and realistic 
design fire tests and then maintained. A load was then applied in increments until failure. The stud 
failure load thus obtained was then expressed as a ratio of the ambient temperature stud capacity (load 
ratio) and plotted against time for each test. The use of steady state analyses thus provided load ratio 
versus time curves that can be used to find FRR and in the comparisons with fire design calculations. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Figure 6: Loading and boundary conditions of full length finite element model 
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S4R shell element type with a 4 mm x 4 mm mesh size was selected based on detailed convergence 
studies. The measured mechanical properties were used to enable the comparison of FEA and test 
results. Poisson’s ratio of steel was assumed as 0.3. The yield strength and elastic modulus reduction 
factors at elevated temperatures and the stress-strain curves were based on the predictive equations 
developed by Dolamune Kanakanamage and Mahendran (2011). The coefficient of thermal expansion 
α given in Eurocode 3 Part 1.2 (ECS, 2005) was used. Based on other numerical studies (Kaitila, 
2002, Feng and Wang, 2005) and the experimental behaviour of studs (Gunalan et al., 2013a, 
Ariyanayagam, 2013) one of the two central studs with the vertical plasterboard joint against it 
(critical stud) was considered in the analyses. Pinned support conditions were simulated using rigid 
plates while the axial compression load was applied at the centroid at one end as shown in Figure 6. 
The plasterboards on both flanges were assumed to provide sufficient lateral restraint until failure.  
The measured time-temperature profiles obtained from the fire tests were used. The temperatures of 
the studs were measured at mid-height and quarter points throughout the fire tests and the average 
measured temperatures were used over the entire stud length. Non-uniform temperature distribution 
across the stud (see Figure 4) was considered in the finite element modelling of studs. The flange and 
lip temperatures were assumed to be the same with the web having a linear temperature distribution. 
The local web buckling near the support was predominant in the first eigen mode of the elastic 
buckling analyses and also in the test results. Therefore this eigen mode was used to introduce the 
initial geometric imperfection with an amplitude of 0.006b. The effect of residual stress on the 
ultimate capacity of LSF stud was small at ambient temperature, and will be insignificant at elevated 
temperatures (Lee, 2004). Hence residual stresses were not considered for studs under fire conditions. 
The results from finite strip analyses (CUFSM) and test (Kolarkar, 2010) were first used to validate 
the results of finite element analyses (FEA) at ambient temperature. Elastic buckling loads of 39.5 kN 
and 39.8 kN from CUFSM and FEA agreed well. The ultimate failure loads from the test and FEA 
also agreed well (79.0 kN and 77.3 kN). 
 
(a)  Behaviour of stud in FEA                 (b) Stud failure mode (Test G3) 
Figure 7: Fire behaviour of LSF wall stud and failure mode in fire test and FEA 
 
The accuracy of the developed finite element model of LSF wall stud subjected to fire conditions was 
validated using the stud failure time, axial deformation and lateral deflection curves and mode of 
failure from fire tests. For this purpose transient state finite element analyses were performed in two 
steps. In the first step the axial compression load was applied to the stud at ambient conditions and 
then while maintaining the load, the stud was allowed to follow the measured time-temperature curve. 
Figure 7 shows the behaviour of stud in FEA and the failure mode obtained from both fire test and 
FEA for Test G3 undertaken using standard fire curve. The studs failed due to local buckling of web 
and flanges in the fire test, which was confirmed by FEA as shown in Figure 7. Also a good 
agreement was obtained with the fire test results for the axial deformation and lateral deflection 
curves as shown in Figure 8. Similar agreements in failure mode and deformation curves were also 
obtained by Ariyanayagam (2013) for LSF wall systems tested under realistic design fire curves.  
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(a) Axial deformation versus time curves        (b) Lateral deflection versus time curves 
Figure 8: Stud axial deformation and mid-height lateral deflection curve–Fire test (Test G3) and FEA 
 
Under fire conditions, many steady state analyses conducted in close time intervals led to a load ratio 
versus time curve for the LSF wall systems shown in Table 1. Figure 9(a) shows this curve for the 
LSF wall with glass fibre external insulation under standard fire (Test G1) while Figure 9(b) shows 
the variation of load ratio with respect to the hot flange temperature at failure. Similar curves were 
obtained for all the LSF wall systems (Table 1) under both standard and realistic design fire curves 
(Figure 2) considered in this study. As shown in Figure 8, the failure time and the critical hot flange 
temperature for Test G1 with a load ratio of 0.2 were obtained as 115 minutes and 600oC. The main 
advantage of steady state FEA is that the figures such as Figure 9 can now be used to obtain the fire 
resistance rating (failure time) for any given load ratio. Table 1 gives the failure times predicted by 
FEA for all the tests, which were within 5 mins. These comparisons show that the developed finite 
element model accurately predicts the ultimate capacities and failure modes of studs subjected to axial 
compression under standard and real fire conditions. FEA results also showed that irrespective of the 
type of fire curve, the critical failure temperature was about the same for a particular load ratio. The 
use of different wall configuration or fire curve essentially meant changes to the rate of temperature 
rise, and the failure was mostly governed by the critical hot flange temperature. The validated model 
was used to extend the analyses of wall systems made of other steel grades and thicknesses using 
idealised time-temperature profiles developed based on the measured temperature values of the studs. 
These results were also used to validate the fire design rules developed in this study. Further details of 
numerical studies can be found in Gunalan and Mahendran (2013b) and Ariyanayagam (2013). 
(a)  Load ratio versus time curve        (b) Load ratio versus stud hot flange temperature 
Figure 9: Load ratio versus time and stud hot flange temperatures from FEA steady state (Test G1) 
 
5.0 Fire Design Rule Development 
 
5.1 Proposed Fire Design Rules based on Eurocode 3 Part 1.3 
 
In this section, improved fire design rules are proposed based on the extensive fire performance data 
of LSF walls obtained from FEA and fire tests. Design rules to find the ultimate capacity of LSF wall 
studs during standard fires have been developed by Ranby (1999), Feng et al., (2003), Kaitila (2002), 
Feng and Wang (2005) and Zhao et al. (2005) using Eurocode 3 Parts 1.2 and 1.3. Gunalan and 
Mahendran (2013c) presents a detailed review of their design rules, which showed that Feng and 
Wang’s (2005) proposals based on Eurocode 3 Part 1.3 design rules for ambient temperature 
conditions agreed well with the FEA and fire test results from this study. Therefore this study is also 
based on Eurocode 3 Part 1.3 to develop simplified fire design rules. Among the previous studies 
except Feng and Wang (2005), the minor axis bending was not considered. This is due to the 
availability of plasterboard restraint. Feng and Wang (2005) included the neutral axis shift about the 
minor axis and corresponding bending moment. However, they showed that this effect is negligible 
and can be ignored in the fire design of LSF wall studs. Therefore the relevant equation in Eurocode 3 
Part 1.3 (ECS, 2006) for the combined actions of bending and axial compression is taken as, 
( )
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where NEd is the applied axial compression load and fy is the basic yield strength; Aeff is the effective 
cross-sectional area in axial compression; γM1 is the partial factor for resistance of members to 
instability, assumed to be 1; Mx,Ed is the applied bending moment about the major axis; ΔMx,Ed is the 
additional moment; Weff,x is the effective section modulus for the maximum compressive stress in an 
effective cross-section that is subject to bending about the major axis; χx and χLT are the reduction 
factors due to flexural buckling and lateral torsional buckling and kxx is the interaction factor. 
The bending moment about the major axis is caused by three effects due to the non-uniform 
temperature distribution in LSF wall studs. They are the pure thermal bowing, the neutral axis shift 
due to the deterioration of stiffness and the magnification effects due to P-∆ effects. If the net 
eccentricity of these three effects is denoted as “e”, the bending moment about the major axis is NEde. 
For LSF wall studs not susceptible to torsional deformations, χLT is equal to 1.0. In Eq. 1, the 
component fyAeff is the ultimate failure load for local buckling Neff and the component fyWeff,x is the 
section moment capacity Mx,eff of LSF wall stud. Hence Eq.1 can be simplified to Eq.2, which was 
used by many other researchers in the past (Ranby 1999, Feng et al., 2003, Kaitila 2002, Feng and 
Wang 2005 and Zhao et al., 2005).  
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In order to find the ultimate load NEd of LSF wall studs under standard or realistic design fire 
conditions, the parameters kxx, e, χx, Neff and Mx,eff should be determined accurately by taking into 
account the effects of non-uniform elevated temperature distribution in LSF wall studs that occur 
during these fires. The calculation methods of these parameters and assumptions varied in the 
previous studies and hence different ultimate loads were obtained for LSF wall studs. 
 
5.1.1 Section Compression Capacities of LSF Wall Studs under Fire Conditions (Neff) 
 
The local buckling capacity based on Eurocode 3 Part 1.3 (ECS, 2006) was calculated by multiplying 
the effective area and the yield stress at elevated temperatures. Three possible yield stresses were 
investigated: yield stress at the average stud (web) temperature (fy,web), area based weighted average 
yield stress of the gross section (fy,bar) and yield stress at hot flange temperature (fy,HF). Similarly four 
effective areas were investigated: effective area at ambient (A20), elevated (At), web (Aw) and hot 
flange (AHF) temperatures. Hence the local buckling capacities were predicted for 12 cases using the 
relevant design rules in Eurocode 3 Part 1.3 (ECS, 2006). Three options were shortlisted to find the 
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local buckling capacity of LSF wall studs with non-uniform temperature distributions (fy,bar with At, 
Aw and A20). At higher load ratios the load ratio curve using the effective areas at elevated 
temperatures (At) agreed well with FEA results compared to the load ratio curve using A20. However, 
at lower load ratios none of them agreed with FEA results. In FEA, the entire hot flange reached its 
yield strength capacity and triggered the failure. However, the cold flange had not reached its yield 
strength at the same time. This indicates that the cold flange has some reserve capacity when the stud 
failed. However, in predicting the local buckling capacity at elevated temperatures based on ΣAifyi, it 
is assumed that the entire stud cross-section has reached its yield stress. This over-estimated the local 
buckling capacity of studs with non-uniform temperature distributions. Therefore it was decided to 
limit the yield stress of cold flange to 1.5 fyHF in the local buckling capacity calculations. This gave a 
better agreement in load ratios with FEA results. Further details are given in Gunalan (2011). 
(a) Interaction of compression and bending        (b) Ultimate compression capacity 
Figure 10: Interaction of compression and bending and ultimate compression capacities for Test G1 
 
5.1.2 Member Compression Capacities of LSF Wall Studs under Fire Conditions (χx Neff) 
  
Ranby (1999) and Kaitila (2002) used the mechanical properties at average stud (web) temperatures to 
find the member compression capacities of LSF wall studs subjected to non-uniform temperature 
distributions whereas Feng and Wang (2005) and Zhao et al. (2005) used the weighted average 
mechanical properties based on gross section dimensions. This research has shown that the weighted 
average mechanical properties should be used instead of the mechanical properties at web temperature 
(Gunalan and Mahendran, 2013d). Hence in this study the weighted average mechanical properties 
were used with Eurocode 3 Part 1.3 (2006) design rules to determine the member compression 
capacities of LSF wall studs under fire conditions. 
 
5.1.3 Section Moment Capacities of LSF Wall Studs under Fire Conditions (Mx,eff) 
 
Ranby (1999) and Kaitila (2002) used the basic formula fy,webZeff,20 to find the section moment 
capacities of LSF wall studs subject to non-uniform temperature distributions. They used the yield 
stress at web temperature and the effective section modulus at ambient temperature. The section 
modulus was calculated based on the effective element widths for pure compression. However, it is 
important that the effective element widths based on pure bending are used. Feng and Wang (2005) 
suggested a more accurate method to find Mx,eff. When calculating Mx,eff at stud mid-height, 
compression is on the cold flange side with a high yield strength and tension is on the hot side with a 
low yield strength. In this case partial plasticity was considered whereby tensile stress in the extreme 
fibres has reached yield and the maximum compression stress in the extreme fibre is equal to the yield 
stress. At the supports the hot flange is in compression and hence the first yield of compression flange 
was adopted. Zhao et al.’s (2005) assumption was similar to that of Feng and Wang (2005). 
Figure 10(a) shows the interaction of compression and bending in Test G1 using the ratios of applied 
axial compression load to axial compression capacity (N*/Nu), and applied bending moment and 
section moment capacity (M*/Mu). The influence of bending is high at mid-height than at the support. 
However, this figure shows that the LSF wall studs under non-uniform temperature distributions are 
dominated by compression than bending. Therefore a simplified method was proposed in this research 
to calculate the section moment capacity at mid-height using the formula fy,barZeff,t where fy,bar is the 
area based weighted average yield stress and Zeff,t is equal to Ieff,t / ymax. Feng and Wang (2005) and 
Zhao et al. (2005) considered partial plasticity at mid-height whereby tensile stress in the extreme 
fibres has reached yield and the maximum compression stress in the extreme fibre is equal to the yield 
stress. Therefore in this scenario fybar is suitable to calculate the section moment capacity. Ieff,t is the 
weighted average second moment of area (considering the elastic modulus variation with temperature 
across the section) calculated based on the effective element widths at elevated temperatures. The 
effective area for pure bending was calculated assuming compression on cold flange. 
In the studies of Feng and Wang (2005) and Zhao et al. (2005), the moment capacity at the support 
was calculated with yielding occurring in the hot flange. In this case fy,HF is suitable to calculate the 
section moment capacity instead of fy,bar. Therefore it is proposed to calculate the section moment 
capacity at support using the formula fy,HFZeff,t. This time the effective area for pure bending should 
be calculated assuming compression on hot flange. This will introduce additional calculation effort 
without improving the accuracy much and hence not proposed in this study. Therefore the effective 
area used in the mid-height calculations (assuming compression on cold flange) is also recommended 
for support calculations. A reasonable agreement was achieved between the accurate method of Feng 
and Wang (2005) and the proposed simplified method in this section. Figure 10(b) shows the variation 
of ultimate compression capacities (NEd) of LSF wall studs with time at mid-height and supports for 
the same tests. It shows that the ultimate compression capacities were not affected by using the 
simplified method for section moment capacities. This is because the LSF wall studs subjected to non-
uniform temperature distributions are dominated by compression rather than bending. Therefore it is 
concluded that the section moment capacities can be calculated using the simplified method proposed 
here without affecting the accuracy of ultimate compression capacities of LSF wall studs. 
 
5.1.4 Interaction of Compression and Bending 
 
Considering the effect of thermal bowing as that of an initial geometric imperfection of a pinned 
ended column, the bending moment generated by thermal bowing and its magnification effect is, 
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where NEd is the applied load; e1 is the maximum total deformation at mid-height due to thermal 
bowing and its magnification effects; Ncr is the Euler buckling load; eΔT is the thermal bowing at mid-
height (Cooke, 1987); α is the thermal expansion coefficient for steel; L and bw are the stud height 
and web depth, respectively, and δT is the temperature difference. Using Eurocode 3 Part 1.3 (ECS, 
2006) the bending moment due to the shift of neutral axis about the major axis and its magnification 
effects is given by Eq. 4 assuming the LSF wall stud is not susceptible to torsional deformation, 
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where Cmx allows for the effects of non-uniform distribution and applied axial compression load 
(ECS, 2006). Since the moment due to neutral axis shift is equal at both ends, Ψ = 1 is used in the 
determination of Cmx. Therefore the total moment due to thermal bowing, neutral axis shift and their 
magnification effects can be calculated as,  
cr
Ed
x
mxEEd
cr
Ed
TEd
21Edtot,Ed,x
N
N1
CeN
N
N1
eN)ee(NM
χ−
−
−
=−= ∆∆            (5) 
In the studies of Ranby (1999) and Kaitila (2002), the magnification effects were counted twice by the 
use of Eq. 3 and kxx. This is not recommended in the fire design of LSF wall studs and hence the 
EEdxx2Ed eNkeN ∆=
proposed method in this section should be used. In this study, the equations given in Eurocode 3 Part 
1.3 are reduced to Eq. 6 to obtain the ultimate compression capacities (NEd) of LSF wall studs 
subjected to non-uniform temperature distributions during standard or realistic design fire conditions. 
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where Neff, χx, Mx,eff and Mx,Ed,tot are obtained as discussed before. 
 
5.2 Proposed Fire Design Rules based on AS/NZS 4600 and AISI 
 
Klippstein (1980) and Gerlich et al. (1996) developed fire design rules for LSF wall studs using the 
AISI design manual. Fire design calculations based on their rules are given in Gunalan (2011). 
Klippstein’s (1980) equations are not available in the current AISI S100 document (AISI, 2007). 
Gerlich et al. (1996) calculated the critical stress and the bending moment capacity based on the yield 
stress at cold flange temperature. This over-estimated the failure times of LSF walls. In this section 
suitable fire design rules are proposed based on the ambient temperature cold-formed steel design 
codes (AS/NZS 4600 and AISI S100) that have identical design rules. As discussed before, Eq. 7 is 
proposed to obtain the ultimate compression capacities of LSF wall studs subjected to non-uniform 
temperature distributions. It is based on Eq. 6 but rewritten using AS/NZS 4600 and AISI symbols.  
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where N* and M* are the applied axial compression load and the total moment about the major axis; 
fn is calculated based on the weighted average mechanical properties (yield stress and elastic 
modulus) at elevated temperatures and includes the effects of major axis flexural buckling; Aeff,t is the 
effective area at elevated temperature calculated using fn; The determination of member compression 
capacity using AS/NZS 4600 is much simpler than using Eurocode 3 Part 1.3 since the Australian 
design code finds the member capacity directly using fn rather than finding it from the section 
capacity as was done in European design code. Mx,eff is the section moment capacity calculated as 
before. The total moment M* due to thermal bowing, neutral axis shift and their magnification effects 
is given by  
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where Cmx = 1 in the case of neutral axis shift as the moments developed in this case is uniform.  
Detailed calculations to find the ultimate capacity of LSF wall studs at elevated temperatures based on 
AS/NZS 4600 and Eurocode 3 Part 1.3 design rules are given in Gunalan (2011). 
 
5.3 Comparison of Proposed Fire Design Rules with Test and FEA Results 
 
Figure 11 compares the variation of FEA load ratios with predicted load ratios based on Australian 
and European codes (AS/NZS 4600 and Eurocode 3 Part 1.3) for both standard fire and realistic 
design fire tests. A reasonable agreement was obtained between the FEA results and the predictions. 
A very good agreement was obtained between AS/NZS 4600 and Eurocode 3 Part 1.3 although the 
latter is slightly conservative in predicting the failure times for lower load ratios. Table 2 compares 
the test and FEA results with the predicted failure times (FRR) using the proposed fire design rules 
based on AS/NZS 4600 and Eurocode 3 Part 1.3 for all the sixteen tests undertaken using both 
standard and realistic design fire curves. The agreement is very good and it is concluded that the 
proposed fire design rules using AS/NZS 4600 and Eurocode 3 Part 1.3 accurately predict the failure 
times of LSF wall panels subject to standard or realistic design fire from one side. 
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Figure 11: Variation of load ratio with time from FEA and proposed fire design rules based on 
Eurocode 3 Part 1.3 and AS/NZS 4600 
 
Table 2: Comparison of FEA results with predictions from proposed fire design rules based 
on Eurocode 3 Part 1.3 and AS/NZS 4600   
Test 
No 
LSF 
Configuration 
Stud Failure Time (mins) 
Load Ratio = 0.2 Load Ratio = 0.4 Load Ratio = 0.7 
FEA FDR EC3 
FDR 
AS/NZS FEA 
FDR 
EC3 
FDR 
AS/NZS FEA 
FDR 
EC3 
FDR 
AS/NZS 
K1 Single layer of 
Plasterboard         
53 56 53 42 44 41 20 25 25 
A1 27 28 28 26 26 26 18 19 19 
A2 42 40 40 34 34 35 24 26 26 
K2 Double layers  
Plasterboard            
115 116 114 107 108 105 63 73 73 
A3 NF NF NF NF NF NF 74 78 78 
A4 134 136 137 118 114 118 78 82 82 
K3 Cavity 
Insulation           
100 97 98 88 91 89 62 67 67 
K4 105 101 101 91 94 91 64 67 68 
K5 109 108 108 101 103 103 64 67 68 
K6  External 
Insulation  
(Composite 
panel) 
154 155 153 137 138 133 99 105 105 
K7 129 130 128 119 119 116 87 93 93 
G1 115 117 115 109 109 107 72 82 82 
G2 116 116 115 110 111 109 85 92 92 
G3 143 137 137 131 132 128 95 101 101 
A5 127 125 126 117 113 116 96 99 99 
A6 122 122 122 120 118 120 101 105 105 
Note: Tests K1-K7: conducted by Kolarkar (2010); Tests G1–G3: conducted by Gunalan (2011); Tests A1–A6: conducted 
by Ariyanayagam (2013); NF – No failure; FDR – Fire Design Rules  
 
6.0 Simplified Method 
 
6.1 Idealised Time-Temperature Profiles 
 
Table 1 shows the LSF wall test configurations and insulations used in the experimental study. These 
16 full scale fire tests were essentially conducted using eight different wall configurations. This 
section describes only the development of simplified method for the tests conducted based on 
standard fire tests. A similar approach was also used when exposed to realistic design fires and its 
details are given in Ariyanayagam (2013). The idealised time-temperature profiles were developed for 
the eight wall configurations using the measured hot and cold flange temperature distributions along 
the wall stud. When the LSF wall was subject to fire conditions, the hot and cold flange temperatures 
of the stud were 20oC for the initial few minutes. They then increased gradually (linearly) to reach 
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100oC and remained at the same temperatures during the plasterboard dehydration process. After this 
the steel temperatures increased rapidly with time. Table 3 shows the time-temperature values of hot 
and cold flanges up to 100oC. Beyond 100oC, Eqs. 9 to 12 represent the idealised temperature profiles 
for LSF wall panels with eight configurations shown in Table 3, where THF and TCF are the average 
hot and cold flange temperatures in oC and t is the time in minutes.  
 
Table 3: Idealised Time - Temperature Values up to 100oC 
Test No Configuration Insulation Time (mins) 
THF 
(oC) 
Time 
(mins) 
TCF 
(oC) 
K1 
 
None 
2 20 2 20 
6 100 11 100 
14 100 21 100 
K2 
 
None 
2 20 2 20 
25 100 35 100 
41 100 54 100 
K4 
 
Rock fibre 
6 20 6 20 
25 100 50 100 
52 100 65 100 
K6 
 
Rock fibre 
6 20 6 20 
55 100 60 100 
70 100 80 100 
 
1) LSF wall lined on both sides by a single layer of plasterboard  
THF = –0.1066t2 + 20.17t – 165     (15 ≤ t)         (9a) 
TCF = 10.29t – 125     (22 ≤ t ≤ 50)         (9b) 
TCF = 29.35t – 1090     (50 < t ≤ 60)          (9c) 
TCF = THF     (60 < t)          (9d) 
2) LSF wall lined on both sides by two layers of plasterboard 
THF = 6.35t – 160   (42 ≤ t ≤ 110)         (10a) 
THF = 12.11t – 790   (110 < t)         (10b) 
TCF = 6.07t – 230   (55 ≤ t)        (10c) 
3) LSF wall lined on both sides by two layers of plasterboard with rock fibre as cavity insulation 
THF = 10.2t – 435   (53 ≤ t)         (11a) 
TCF = 4.06t – 165   (66 ≤ t)          (11b) 
4) LSF wall lined on both sides by two layers of plasterboard with rock fibre as external insulation 
THF= –0.000212t3+0.0931t2 – 5.47t+100  (71 ≤ t)         (12a) 
TCF = 0.0586t2 – 6.69t + 260  (81 ≤ t)         (12b) 
 
(a) Fire Test K4–Cavity insulation (Rock fibre)  (b) Fire Tests K6 & G3–Ext. insulation (Rock fibre) 
Figure 12: 1.15 mm thick G500 steel studs lined with two layers of plasterboards and insulation 
 
Lawson (1993) adopted the so-called limiting temperature method used for hot-rolled steel structures 
to cold-formed steel structures. In this method the limiting temperature is defined as a function of the 
load ratio, which is the ratio between the load on the member at the fire limit state and its ambient 
temperature load capacity. Kolarkar (2010) also proposed simple design rules to determine the failure 
times of LSF walls by combining the yield stress reduction factors and idealised time-temperature 
profiles. The critical maximum hot flange temperature at failure corresponding to a load ratio 
(strength reduction factor) was used with idealised time-temperature profiles to obtain the 
approximate failure times of each type of wall specimen. 
Eurocode 3 Part 1.2 (2005) recommends a limiting temperature value of 350oC irrespective of the load 
ratio as shown by a straight line in Figure 12. This did not agree with the FEA results. Kolarkar’s 
(2010) and Lawson’s (1993) design methods were also found to be unsuitable. Equations 13 to 16 
were therefore proposed to determine the critical hot flange temperatures at failure. These equations 
represent the temperature values ranging from 100oC to 800oC where T is the critical hot flange 
temperature in oC and LR is the load ratio.  
1.15 mm G500 steel studs lined on both sides by  
Single layer of plasterboard           T = 1298LR3 – 1894LR2 – 14LR + 708      (13) 
Two layers of plasterboard              T = –527LR3 + 895LR2 – 1166LR + 825     (14) 
Two layers of plasterboard with cavity insulation  T = 196LR3 + 428LR2 – 1379LR + 854      (15) 
Two layers of plasterboard with external insulation T = 870LR3 – 1291LR2 – 260LR + 768      (16) 
 
In the simplified method proposed here, Equations 13 to 16 predicting the limiting hot flange 
temperature of LSF wall studs are used with Equations 9 to 12 giving the idealised hot flange time-
temperature profiles to determine the time at which the limiting hot flange temperature is reached, 
which is the fire resistance rating in minutes (stud failure time) for the selected wall system.  
 
7.0 Conclusions 
 
This paper has presented the details of an investigation on the development of improved fire design 
rules for LSF walls under standard and realistic design fire conditions. The structural behaviour and 
capacity of LSF wall studs subjected to non-uniform elevated temperature conditions was evaluated in 
detail based on a series of full scale fire tests and extensive numerical studies. New simplified fire 
design rules were proposed based on AS/NZS 4600, North American Specification and Eurocode 3 
Part 1.3 with suitable allowances for the interaction effects of compression and bending actions and 
the effects of thermal bowing, neutral axis shift and their magnification effects. The accuracy of the 
proposed fire design rules was verified with the available test and FEA results for LSF wall systems 
made of eight different wall configurations and varying steel grades and thicknesses. The agreement 
of failure times was very good compared to the complexity and assumptions involved in the fire deign 
of LSF wall studs. This paper has demonstrated significant improvements to the design method when 
compared to the prescriptive design methods for LSF wall systems under fire conditions. It has also 
proposed a simplified design method to predict the fire resistance rating based on predictive equations 
for the hot flange temperature in terms of time and the limiting hot flange temperature in terms of load 
ratio for LSF wall systems with varying steel stud and plasterboard-insulation configurations. 
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